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ABSTRACT

High-cycle fatigue (HCF) is arguably one of the costliest
sources of in-service damage in military aircraft engines.
HCEF of turbine blades and disks can pose a significant engine
risk because fatigue failure can result from resonant vibratory
stresses sustained over a relatively short time. A common
approach to mitigate HCF risk is to avoid dangerous resonant
vibration modes (first bending and torsion modes, etc.) and
instabilities (flutter and rotating stall) in the operating range.
However, it might be impossible to avoid all the resonance
for all flight conditions. In this paper, a methodology is
presented to assess the influences of HCF loading on the
fracture risk of gas turbine engine components subjected to
fretting fatigue. The methodology is based on an integration
of a global finite element analysis of the disk-blade assembly,
numerical solution of the singular integral equations using the
CAPRI (Contact Analysis for Profiles of Random Indenters)
and Worst Case Fret methods, and risk assessment using the
DARWIN (Design Assessment of Reliability with Inspection)
probabilistic fracture mechanics code. The methodology is

illustrated for an actual military engine disk under real life
loading conditions.

1 INTRODUCTION

Premature cracking has been observed in several engine disks
in military aircraft. Available data suggest that fretting fatigue
may be a strong contributor to the premature formation of
fatigue cracks in these engine disks. To better assess the risk
of disk failure, a probabilistic fatigue crack growth (FCG)
methodology has been previously developed for treating
fretting fatigue by considering the stress variability [1],
inspection intervals [2], material variability [2], and risk
mitigation by locally-induced residual stresses [3, 4]. The
methodology is based on an integration of a global finite
element analysis of the disk-blade assembly [5] and
associated contact stresses [6 ,7], small-crack fretting fatigue
modeling [7], and risk assessment using the DARWIN
(Design  Assessment of Reliability with Inspection)
probabilistic fracture mechanics code [8]. The methodology
has been demonstrated for an actual military engine disk
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under real life loading conditions. The influence of inspection
and residual stress on potential risk reduction has been
investigated for simulated mission profiles typical of those
associated with low-cycle fatigue (LCF). The contribution of
high-cycle vibratory stresses to the risk of engine failure has
not been considered in the previous studies [1-4].

High-cycle fatigue (HCF) has been identified as one of the
costliest in-service damages in military aircraft engines [9,
10]. HCF of turbine blades and disks can pose a significant
engine risk because fatigue failure can result from resonant
vibratory stresses sustained over a relatively short time. One
approach to mitigate HCF risk is to avoid dangerous resonant
vibration modes (first bending and torsion modes, etc.) and
instabilities (flutter and rotating stall) in the operating range
[11-14]. However, it might be difficult to avoid resonance for
all flight conditions and stall flutter can be induced
unknowingly. Thus, substantial efforts have been spent in
recent years to develop computational methods for analysis
and prediction of the resonance forced response of bladed
disks. Gallagher et al. [15] published a detailed report
addressing key issues associated with developing, verifying,
and implementing a material damage tolerant design
methodology capable of predicting HCF limits and material
thresholds for Ti-6A1-4V. The methodology development was
extended to another titanium alloy, Ti-17, and to a nickel-base
single crystal alloy, PWA 1484. This program was a follow-
on effort to a program on Improved High Cycle Fatigue
(HCF) Life Prediction, USAF Contract F33615-96-C-5269.

Hilbert et al. [16] developed a stress prediction method for
airfoil response due to gas path excitation. The method
predicted the response characteristics measured in a full
engine test. The complexity of the airfoil mode shape and
unsteady pressure distribution required a three-dimensional
analysis. Marshall and Green [17] applied a three-
dimensional (3D) linearized Euler method for obtaining
response. The transient dynamic results were broadly in very
good agreement with the experimental data. The speed of the
resonances was predicted to be in the range 79-81% speed for
the 36 engine order (EO), corresponding to a frequency of
5090 Hz. The experimental value was 77%, corresponding to
a frequency of around 4950 Hz. Sayma et al. [18] presented a
force response analysis of a military engine lift fan. The
analysis was performed using an integrated aeroelasticity
model which combines a non-linear, time-accurate, viscous
unsteady flow representation with a modal model of the
structure. A 15 million point grid was used in all forced
response calculations which were run in parallel mode on an
MPI cluster. A single calculation required 8 GB RAM and
took two weeks on four 600 MHz EV6 Alpha processors. The
computed blade responses were compared to measured data
and the worst case was under-predicted by 50%. The
predictions were considered to be satisfactory because of
complexities in the computations and boundary conditions.
Panovsky et al. [19] predicted the response of high pressure
turbine blade using CFD code TURBO and compared to
experimental results. TURBO is a 3D, unsteady, multiple

blade row Navier-Stokes code developed at Mississippi State
University. The test data was generated in the Gas Turbine
Laboratory at Ohio State University. The results included
unsteady pressure on the blade surface as well as vibratory
response levels at two axial spacings for several modes.
Predictions of aero damping for these modes are also
compared to measurements made during the forced response
tests. Petrov [20] investigated the influence of the contact
interfaces parameters on nonlinear vibrations of bladed discs
via direct method. In particular, forced response levels were
calculated directly as a function of contact interface
parameters such as the friction coefficient, normal and
tangential stiffness coefficients, clearances, interferences, and
the normal stresses at the contact interfaces. Special contact
interface elements were developed providing exact sensitivity
coefficients with respect to variation of all parameters of the
friction contact interfaces. Application of this method to
practical bladed discs demonstrated its high efficiency. In
summary, computing the blade’s aerodynamic loading in a jet
engine is a complex process and generally requires a
combined experimental and computational analysis [16-23].

The objective of the present study was to probabilistically
investigate the high-cycle fatigue assessment of blade/disk
assembly in a gas turbine engine. To simplify the analysis and
focus on the fatigue assessment, a reasonably accurate
aerodynamic loading model was provided by NAVAIR and
utilized to perform the computational structural-mechanical
analysis of a blade/disk assembly. In particular, structural
analyses of a blade/disk assembly were performed via the
FEM method to compute the static and dynamic contact
stresses, and the bulk stresses associated with stall flutter
conditions. The computed dynamic stresses were calibrated
using blade tip displacements from existing engine test data.
In addition, the computed dynamic stresses at the blade root
were verified using strain gauge measurements from engine
test data. Subsequently, stall-flutter-induced vibratory stresses
were incorporated into a simplified composite mission, which
was then utilized to compute the contact stress distribution at
the blade/disk attachment using the singular-integral-equation
techniques. The LCF and HCF load histories were then used
in conjunction with pertinent probabilistic life-prediction
methods for assessing fatigue crack growth due to the
combined LCF and HCF stresses in engine disks and the risk
of disk fracture with and without the presence of high-cycle
vibratory stresses.

2 LOAD HISTORIES FOR HIGH-CYCLE VIBRATORY
STRESS

The current methodology developed by the authors [1-4] for
treating low-cycle fretting fatigue crack growth relies on the
use of a simplified mission to compute the global contact
forces at the blade/disk interface using a 3D finite-element
analysis approach. Fig. 1 illustrates a typical fan speed profile
based on the composite mission associated with actual engine
usage histories [1]. The simplified mission, shown in Fig. 1,
is comprised of about 24 major and minor speed reversals
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which have been utilized to establish the load histories
required for low-cycle fretting fatigue crack growth analyses
in previous work. The simplified mission profile, however,
does not provide sufficient information for establishing the
high-cycle vibratory load histories. The potential sources of
vibratory stresses on gas turbine blades are resonance, flutter,
and rotating stall. Regions of stall flutter can be mapped and
displayed in a map of pressure ratio versus corrected airflow.
Literature data indicate that two stall flutter regions may
exist: one at about 60-70% of the max speed and one at
higher engine speeds. In this investigation, high-cycle
vibratory stresses related to stall flutter near 72% max engine
speed, shown by the red line in Fig. 1, were considered.
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Fig. 1. Typical fan speed profile based on the composite
mission. Points indicate load steps. From
Chandra et al. [1].

Existing engine test data generated to map out the stall flutter
regions of a military engine were utilized to establish the
high-cycle vibratory load histories. The stall flutter frequency
was identified from a Campbell diagram, Fig. 2, by following
frequency signals that ride along an engine order line and
then deviate from the engine order line. The non-integral
excitation frequency between engine order lines was taken as
the stall flutter frequency, fsr, and the corresponding engine
speed was noted.

The duration of stall flutter was identified by tracking the
peak-to-peak strain signals, Fig. 3, at the stall flutter
frequency from strain gauges placed on the airfoil and the
root of several instrumented blades. The time span measured
at the half-height of individual strain peaks during a flutter
event was taken as the duration of stall flutter. Typically, the
duration of a stall flutter event ranged from less than 1 second
to a few seconds. The peak-to-peak strain data also provided
the vibratory stresses at various locations at the airfoil, blade
root, and the disk during stall flutter. The vibratory stresses at
various locations at the airfoil and the blade root were
normalized by those at the disk and the normalized dynamic
stresses are presented in Fig. 4. Figure 4 indicates that the
dynamic stresses at locations 2 and 3 in the airfoil are about
ten times that at location Y in the disk. At the blade root, the
dynamic stress ranged from 1 to 5 times that at location Y in
the disk.
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Fig. 2. Campbell diagram showing excitation at a
frequency that deviates from integral engine
order lines at about 72% max. engine speed.
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Fig. 3. Peak-to-peak (P2P) strain data as a function of
time during stall flutter.
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Fig. 4. Dynamic stresses at various locations at the
airfoil and the blade root normalized by the
dynamic stress at location Y in the disk.
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3 COMBINED LOAD HISTORIES FOR LOW-CYCLE
AND HIGH-CYCLE FRETTING FATIGUE STRESS

A finite element method analysis of the disk-blade assembly
was carried out to obtain contact forces and moments along
the disk-blade interface. Due to the complex geometry of the
fan blade, higher order tetrahedral elements (C3D10) were
used for the associated finite element mesh. A refined mesh of
first order hexahedral elements (C3D8) was used for the
dovetail portion of the fan blade and the disk [24]. This
element type was selected for its superior performance in the
contact interface.

The FEM mesh for the disk-blade assembly and for the
interface region between the dovetail portion of the blade and
the disk is shown in Figs. 5 and 6, respectively. The dovetail
is aligned along the axial direction of the engine. A single
blade and section of the disk were modeled using cyclic
symmetry to represent the entire rotor. The entire mesh had
approximately 121,000 elements including 800 elements in
contact on the disk side of the interface and approximately
400 elements on the dovetail side of the interface. The model
was solved using the ABAQUS 6.9 software [25] using a
surface-to-surface contact formulation.

The simplified mission shown in Fig. 1 was utilized as the
starting point for building the loading histories for the
combined low-cycle and high-cycle fretting fatigue analysis.
The mission profile in Fig. 1 includes 22 speed reversals and
includes both major and minor reversals. Load cases available
for low-cycle fatigue analysis included 50%, 72%, and 110%
maximum fan speed. A simple mission (0%, 110%, 50%,
110%, and 72%) was built for the FEM analysis that would
allow contact force history effects to be analyzed. The
simplified mission was used in order to limit the
computational time needed for the analysis and to coincide
with the fan speeds where the aerodynamic loads were
available. Convergence of the nonlinear analysis required that
each load step in the mission be broken into 15-25
increments, resulting in a total of 87 increments available for
post-processing. For analyzing high-cycle fretting fatigue,
dynamic stress analyses of the blade/disk assembly were
performed by exciting the assembly at the frequency and
engine speed of interest; both were determined from the
engine data for stall flutter condition at about 72% of the
maximum engine speed.

For the dynamic analysis, an implicit time dependent direct
integration method was selected because of the need for the
computation of the nonlinear contact fretting fatigue stresses.
The disadvantage of using the implicit time method was that
it was computationally expensive. In this study, a DoD High
Performance Computing resource was used to speed up the
computation.

The dynamic stresses due to LCF and HCF loading
conditions were calculated as follows. First, a static nonlinear
stress analysis was performed to simulate a 72% inertia
loading (i.e., including the nonlinear contact stresses at the

blade/disk dovetail interface surface). Second, a reasonably
accurate aerodynamic pressure loading model provided by
NAVAIR was used to simulate the acrodynamic loading, and
equivalent nodal aerodynamic forces were applied on the
blade surface. These forces were applied harmonically at the
critical frequency and LCF loading level determined from
engine test data. Third, the computational model was
calibrated based on available engine test data until the
computed and measured blade tip displacements were in
agreement. The calibration was performed by applying a
constant factor to the aerodynamic nodal forces. This factor
value was determined by trying various values and selecting
the one that corresponded to the desired blade tip
displacement. Once the computed blade tip displacement
matched the experimentally observed value from engine test
data, the corresponding aerodynamic loads were selected and
utilized to compute dynamic stresses for the blade/disk
assembly. Dynamic stresses at various locations of the blade
were then compared

Fig. 5. Finite element mesh of blade/disk assembly.

Fig. 6. Arefined mesh of first order hexahedral elements
(C3D8) for the dovetail portion of the fan blade
and the disk.
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against peak-to-peak (P2P) stresses from strain gauge data
located at thirteen locations of the blade/disk assembly (four
on the air foil, seven on the blade root, and two on the disk).
Figure 7 shows a comparison of the computed and measured
values of the dynamic stresses (stress ranges) at several
locations of the blade root during stall flutter at 72%
maximum RPM. This is an independent comparison since
none of the strain gauge data were used to calibrate the
computational model — the computational model was
calibrated using the tip displacement only. In general, the
dynamic stresses at the root section were comparatively low.
The region with the highest dynamic stresses was predicted to
be location 7, in agreement with the engine data. In addition,
the computed dynamics stress at location 7 was within 14%
of the measured value. Overall, the agreement between the
computed and the measured dynamic stress ranges (highest
peak-to-peak values) were about 14% to 54%.

After validation against engine test data, the dynamic stresses
were combined with the LCF stresses in the fatigue crack
growth analyses for different combinations of LCF and HCF
loads. Figure 8 shows the profiles of the stress versus cycle
for both LCF and HCF loads. In particular, the HCF cycles
were computed from the stall flutter frequency, the duration
of a stall flutter event as determined from the width of the
peak-to-peak of the dynamics strains measured during stall
flutter, and the number of times the engine speed passes
through the stall flutter condition, which is represented by the
line at 72% maximum engine speed in Fig. 1. The HCF
stresses occur after each speed reversal in the simplified
mission profile. For computational efficiency, all HCF cycles
have been appended at the end of the simplified mission
profile to follow the LCF cycles. Figure 8 shows
schematically the combined LCF and HCF stress histories,
which consist of an LCF block with 24 cycles, followed by an
HCEF block with 8,702 cycles. Only 80 HCF cycles are shown
in Fig. 5. HCF blocks with 33,630 cycles and 58,800 cycles
have also been investigated.

mmmm Computed
= Highest Gauge Value
Mean Gauge Value

Normalized P2P Stress Range

5 6 7 8 9 10 11

Strain Gauge Number

Fig. 7. A comparison of computed and measured peak-
to-peak stress ranges normalized by a constant
for various strain gauges in the root section.
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Fig. 8. Combined LCF and HCF load history for a
composite mission profile.

4 CONTACT STRESS FOR LOW-CYCLE AND HIGH-
CYCLE FRETTING FATIGUE ANALYSIS

The finite-element results were used to predict the contact
normal force, P, shear force, Q, and contact moment, M, all
per unit thickness, via the method developed by Gean and
Farris [26]. In general, the blade force is proportional to the
square of the rotor speed, Q [26]:

Foaie = 20 - (P, cos @ + Q; sin 8)]c Q7 (1)

where P; and Q; are the P and Q values for individual zones
that are subdivided to model the attachment region of a disk.
The sum of the radial components of P and Q times their slice
thickness h must equal the total radial force applied by the
blade, as shown in Eq. (1).

Once the high-cycle vibratory forces on a blade were known,
they were incorporated into an FEM structural analysis to
compute the global contact loads, P and Q, due to the LCF
and HCF loading. Figure 9 shows schematically a
representation of the dovetail geometry of the attachment
region of a disk with a vibrating blade. The main LCF load is
the radial load, R(t), applied to the blade. Excitation is
assumed to induce a high-cycle vibratory force, AGpcg(t), in
the tangential direction. A vibratory force, ARycg(t), in the
radial direction is assumed here, but it may be negligibly
small.

Applying the Gean and Farris analysis [26] leads to the P and
Q expressions given by

Pmax = Pm +%APHCF (2)
1
Qmax = Qm +5AQHCF (3)

where the mean values of P and Q (P, and Q) are functions
of R(t), the LCF load on the blade. The vibratory values of P
and Q (APpcr and AQycr) are contributed by the vibratory
loads acting on the blade and are functions of both ARycr(t)
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R() + ARucr(t)

Flank Angle, 8

Fig. 9. Dovetail geometry subjected to radial load R(T)
and ARycr(T) and AGcr(T) due to high-cycle flow-
induced vibration. Modified from Gean and Farris
[18].

and AGpcr(t). In addition, the minimum values of P and Q
(Pmin and Qpin) are given by Egs. (2) and (3), but the + sign is
replaced with the — sign. Since the blade passing frequency is
expected to occur at a percentage of the maximum engine
speed, the HCF vibratory forces are expected to oscillate at
the (Pm, Qm) point in a P-Q plot, as shown in Fig. 10, during
an engine run-up or rundown event. Flutter-induced
vibrations may occur at different engine speeds and thus may
reside along different lines in the P-Q diagram. Once the Ps
and Qs are computed from the Gean and Farris type analysis
[26], the contact stresses at the attachment region can be
computed via one of two analytical codes based on the
singular-integral-equations approach, the CAPRI code [6] or
the Worst Case Fret (WCF) model [7]. The CARPI and the
WCF codes, which were benchmarked previously, gave
identical contact stresses for the input values of P and Q [2].
In this study, the contact stresses for the LCF loads were
computed using CAPRI. Subsequently, the contact stresses
associated with the HCF loads were computed using the WCF
code [7] on the basis of the P, Q, AP, and AQ. The HCF bulk
stresses were computed on the basis of the dynamic stresses
measured at two locations on the disk and the bulk stress
distribution function derived from the computed LCF stresses
at 72% maximum RPM.

Figure 11 presents the LCF contact stresses for the 72% and
the maximum engine speed as a function of distance from the
contact surface. Also presented in Fig. 11 are the LCF contact
stresses at 72% maximum speed and the HCF stresses. The
HCF contact stress ranges with and without the HCF bulk
stresses are presented in Fig. 11; both are considerably lower
that the LCF stresses. It is also important to note that the HCF
contact stresses extend to a shallow depth (about 200 pm)
below the contact surfaces.
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Fig. 10. Q and P history for a typical fan speed profile
with APyce(t) and AQuce(t) due to high-frequency
forced vibrations due to stall flutter.
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Fig. 11. A comparison of the LCF stresses at maximum
RPM, 72% maximum RPM, HCF maximum and
minimum stresses at 72% maximum RPM, and
HCF stress range at 72% maximum RPM as a
function of crack depth.

5 CRACK GROWTH MODELING AND LIFE
PREDICTION

Once the contact stress and bulk stress are computed, the
FCG life can be predicted for the combined LCF and HCF
load histories. For the deterministic fracture mechanics
assessment, the disk blade attachment region can be modeled
as a rectangular plate with a semicircular surface crack placed
along the edge of contact. The stress intensity factors can be
computed using a weight-function-based surface crack stress
intensity factor solution that includes a correction for small
crack effects via the small-crack parameter, a, [27]. The
crack path can be taken to be at a 20° angle from the normal
to the attachment surface where the interior stress ranges are
highest [2]. This particular crack angle also corresponds to
the observed crack growth direction in fretting fatigue
experiments and in failed disks reported in the literature [2].
Crack growth rate values have been obtained using a crack
growth model [28] fit to the material data.
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The crack growth rate equation describes all three regions of
the large-crack FCG curve and is given by [28]

(I_Aij P
dazc((l— f)AK) AK )

— q
dN 1-R K,
Kmax

where C and n are empirical constants for the power-law
region. The parameter p is an empirical constant describing
the large-crack threshold region, AKy, and the parameter q
describes the fast fracture region where the maximum K,
Kmax, approaches the critical stress intensity at fracture, Kc.
The parameter f is the ratio of Kop/Kmax, where Kgp is the stress
intensity factor at which the crack tip is fully open. The
presence of a compressive residual increases Ky, and thus
reduces the effective AK, which is the difference between
Kmax and Kgp. The value of f is computed in DARWIN using
the Newman crack closure model [29].

The fatigue crack growth analyses were performed by
treating the LCF and HCF loads as the random variables,
while keeping the HCF time duration during stall flutter as a
deterministic parameter. The median and COV of the LCF
stress random variable were calibrated to available crack
growth life data (the details of the calibration are described in
Enright et al. [4]). The median of the HCF stress random
variable was calibrated based on blade tip displacements as
previously described. The COV of the HCF stress random
variable was based on the scatter in HCF stress values
associated with strain gage measurements obtained at various
locations within the disk. Three different time durations (t;, t,,
and t;) were investigated. These time durations encompassed
the excitation times during ascent, stall flutter, and descent.
Figure 12 shows a comparison of the computed crack areas as
a function of flight hours for LCF loads with and without
HCF vibratory loads. Results for HCF blocks with three
different flutter durations (t; t, and t;) are presented in Fig.
12. The value of t, is on the order of the mean. The
comparison shows that the presence of the HCF vibratory
stresses reduced the flight hours to fracture by 39%, 60%,
and 65% for t; t, and t;, respectively. For these particular
computations, one of the mission profiles contained 24 LCF
load cycles and 8,702 HCF cycles; the latter corresponded a
stall flutter duration (t;) of the shortest time observed per
event. Increasing the stall flutter duration to t, or t; reduced
the flight hours at fracture by 60% to 65%, compared to the
LCF life without HCF loads.

Fracture risk computations were performed using DARWIN
[30]. Normalized probability of fracture results are shown in
Fig. 13 for LCF loading without and with HCF loads,
respectively. For HCF loading, results for the time durations
of t;, t,, and t; are presented. From these results, it can be
concluded that the risk of disk fracture is increased by the
presence of HCF loads with the shortest flutter time direction
(t)). Increasing the time duration from t; to t, further reduces
the fatigue rack growth life and increases the risk of fracture,

but both occur at diminishing rates. A further increase in the
flutter time duration to t; causes only a small decrease in life
and a small increase in risk. Since the HCF contact stresses
concentrate mostly in a region that extends up to about 200
um below the surface, a further increase in the flutter time
duration that is larger than t; may not cause a further decrease
in life or increase in risk once the crack depth exceeds 200
pm and the HCF stresses drop to very low values (Fig. 11).
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Fig. 12. A comparison of the predicted flight hours with
and without the presence of HCF loads.
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Fig. 13. Comparisons of fracture risk of engine disk
without and with HCF loads due to stall flutter.

6 DISCUSSION

The results presented in this paper are works in progress that
are intended to illustrate the HCF life-prediction
methodology. First, the computations relied on the dynamic
stress ranges at the blade root derived from matching the tip
displacement from existing engine test data. The
corresponding computed dynamic stresses at the blade root
are in reasonable agreement with the strain gauge
measurements at the blade root. This suggests that the blade
tip displacement is a reasonably accurate and viable method
for calibrating FEM dynamic stress computation to real-life
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engine test data for establishing and verifying dynamic stress
calculations.

The number of HCF fatigue cycles required for the HCF
portion of the mission profile is quite large. A range of time
durations was observed during stall flutter. Computational
results for three time durations are presented in Fig. 12. In the
current computations, all HCF stress pairs were used in the
crack growth analysis and no fatigue threshold check was
performed. In future work, fatigue crack growth threshold
checks will be considered. The threshold check may reduce
the number of HCF stress ranges and the computation times
required in the fatigue crack growth rate computation.

The computational results indicate that the HCF stress ranges
at the blade root and the blade/disk interface are small and the
fatigue crack growth rates are typically low. The HCF
stresses are sufficiently low and they are present only when
the crack length is small (10-200 pm), as shown in Fig. 14.
Despite limited magnitudes, the HCF stresses contribute to
the fatigue crack growth process because the number of HCF
cycles was sufficiently large that the small HCF loads led to
some reduction in flight hours once the fatigue threshold can
be exceeded by the HCF stresses alone. For the cases
considered, HCF crack growth occurs when the HCF stresses
are near or above the 95% confidence limits, as shown in
Fig. 14.
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Fig. 14. Comparison of the LCF and HCF stresses against
the threshold stresses for fatigue crack growth
for stress ratio, R, values of 0.1 and 0.7.

Furthermore, HCF crack growth occurs at a high stress ratio,
R, of 0.7. Figure 14 demonstrates that the 95% confidence
limit of the HCF stress are on the order of the bulk stresses
and exceed the crack growth threshold for R = 0.7 only at
crack depth less than about 100 um. Nonetheless, the crack
growth life is reduced and the risk of fracture is increased
because of a large number of HCF cycles. Since the number

of HCF cycles increases with increasing flutter time duration,
the general trend is that the flight hours are reduced with
increasing flutter time durations (i.e., increasing number of
HCF cycles in the mission profile). Once the crack goes
deeper than the HCF contact stress zone, the HCF stresses
become very small; the flutter time duration becomes
unimportant and FCG is driven solely by the LCF contact and
bulk stresses. Figure 14 also suggests that because of a
shallow depth (less than 100-200 pm), the HCF contact
stresses may be mitigated by surface residual stresses induced
by laser-shock peening, low plasticity burnishing or shot
peening [3]. Future work will focus on evaluating the effects
of a longer flutter time duration, random flutter time
durations, and the presence of surface residual stresses on the
risk of disk fracture.

7 CONCLUSIONS

A methodology to assess the influence of HCF loading on
probabilistic risk in a typical gas turbine engine component
has been developed. Based on this study the following
conclusions are drawn:

1. LCF and HCF fretting fatigue at the blade/disk interface
may be simulated by appending the HCF loads to the
end of the LCF loads derived from the mission profile.

2. The number of HCF cycles may be estimated from the
flutter frequency and the time duration of flutter using
engine data generated to map out the stall flutter
regions.

3. HCF contact stresses and crack growth occur at a high
R ratio of 0.7 in a region that extends up to about 100 to
200 um from the contact surface.

4. For the flutter durations and HCF stresses considered,
high-cycle fretting fatigue reduced the computed crack
growth life by 39 to 65% compared to LCF life without
the HCF loads.

5. The presence of HCF loads in the mission profile can
significantly increase the risk of disk fracture compared
to LCF loads alone.
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